ABSTRACT: Researchers resort to a wide range of simplified representations at the continuum scale, to model creep-fatigue damage in viscoplastic heterogeneous materials, such as Sn-Pb eutectic solders, caused by thermomechanical and mechanical cyclic loading (e.g., due to power cycling, environmental temperature cycling, vibration, etc.). Typically, in macroscale phenomenological damage models, the cyclic damage is assumed to depend on some loading parameter, such as cyclic strain range, work dissipation per cycle, partitioned strain range, partitioned work dissipation per cycle, cyclic entropy changes, cyclic stress range, integrated matrix creep, etc. In many instances, some of these variables are weighted with a factor to account for rate-dependent effects. The task of finding the best damage metric is difficult because of complex microstructural interactions between cyclic creep and cyclic plasticity due to the high homologous temperature under operating conditions. In this study, we use insights obtained from microstructural and more mechanistic modeling to identify the most appropriate macroscale damage metrics. The microstructural models are based on such phenomena as grain boundary sliding, blocking of grain boundary sliding by second-phase particles, volumetric and grain boundary surface diffusion, void nucleation, void growth, and plastic collapse of cavitating grain boundaries. As has been demonstrated in the literature, micro- 
INTRODUCTION F
AILURE OF SOLDER interconnects, due to creep-fatigue interactions, is one of the dominant failure modes in surface-mount electronic assemblies, since many solders (such as 63Sn/37Pb) are expected to perform at homologous temperatures well above 0.5 (Frear et al., 1990) . The intergranular fracture mode typically observed in solders (as a result of creepdominated fatigue mechanism) can be accounted for by the following sequence of events: (1) continuous cavity nucleation; (2) cavity growth; and (3) cavity coalescence and interlinkage leading to fracture (e.g., Raj and Ashby, 1975; Edward and Ashby, 1979; Needleman and Rice, 1980; Baik and Raj, 1982; Cocks and Ashby, 1982; Riedel, 1986; Wong and Helling, 1990; Rodriguez and Bhanu Shankara Rao, 1993; Kuo et al., 1995; Giessen and Tvergaard, 1996; Nielsen and Tvergaard, 1998; Onck, 1998) . The sequence of damage events described above occurs for both static creep (i.e., creep at constant stress) and cyclic creep (creep-dominated cyclic fatigue).
One can approach the problem of modeling cyclic creep damage from a microscopic perspective (i.e., length scales of the order of grain size) or macroscale (structural level damage modeling). This study mainly focuses on damage modeling at the macroscale but motivated from microscale considerations (i.e., length scale of the grains and microdefects like secondphase particles, cavities, etc.). In addition, one can also classify creep damage models based on the approach taken: e.g., mechanistic versus phenomenological. Mechanistic models are those that make some attempt to represent the physics of the microstructural deformation and damage mechanisms. They are typically used and developed by researchers to obtain better insights into the fundamental mechanisms governing failure of materials. These insights can then be used to either justify existing phenomenological damage models or develop new ones. Phenomenological models are typically used in engineering applications and are based on what is observed empirically. For example, phenomenological macroscale creep-fatigue damage models for solder commonly use damage indicators, such as total cyclic strain range (Manson, 1965; Coffin, 1971) , frequencymodified strain range (Coffin, 1973; Engelmaier, 1983; Shi et al., 2000) , partitioned cyclic strain range (Hirschberg and Halford, 1976; Vaynman et al., 1987) , cumulative integrated creep strain, and ductility exhaustion (Priest and Ellison, 1981; Hale, 1983; Shine et al., 1984; Shine and Fox, 1987; Knecht and Fox, 1995) , total energy dissipated per cycle (Morrow, 1965; Solomon, 1986; Vaynman and Fine, 1991; Darveaux et al., 1995) , frequency-modified cyclic energy dissipation (Solomon, 1996) , partitioned cyclic energy (Dasgupta et al., 1992; Darbha et al., 2000) , entropy per cycle (Basaran and Yan, 1998) , instantaneous microstructural state (Frear et al., 1995) , crack propagation rates (Wong et al., 1988; Lau, 1990; Sandor, 1990; Pao and Pan, 1990; Attarwala et al., 1992; Rafanelli, 1992; Ross and Liang-Chi, 1994; Syed, 1995) , percolation thresholds Stolkarts et al., 1999) , and other hypothetical 'continuum damage' state variables (Kachanov, 1960; Robotnov, 1969; Leckie and Hayhurst, 1977; Chow and Wang, 1987; Onat and Leckie, 1988; Desai, 1991; Ju et al., 1996; Fang et al., 1998; Basaran and Chandaroy, 1999; Qian et al., 1999) .
Clearly, the phenomenological and the micromechanics approaches are both important in their own right, although it is obviously desirable to provide a bridge between them such that phenomenological models are developed and refined in accordance with insights obtained from micromechanistic models. Empirically determined damage constants in purely phenomenological models, though useful for design in their limited validity range, are difficult to extrapolate to application situations not included in the initial experimentation. Choice of a macroscale model based on micromechanical considerations may mitigate these risks to some extent as one is reasonably assured that the macroscale model has the right interdependencies between various variables in the damage model. In the subsequent section, the basis for a phenomenological model for eutectic Sn-Pb solder will be established with the help of a micromechanics cyclic creep damage model developed by Dasgupta et al. (2001) and Sharma and Dasgupta (2002a,b) .
MICROSTRUCTURAL BASIS FOR A PHENOMENOLOGICAL CYCLIC CREEP DAMAGE MODEL
Details of the micromechanics model are presented elsewhere (Dasgupta et al., 2001; Sharma and Dasgupta, 2002a,b) and are summarized here briefly for completeness. The microscale model is based on the fundamental mechanisms of void nucleation at second-phase particles (Pb islands), void growth, and interlinkage. Only rate-dependent creep failure mechanisms were considered in the microstructural damage model. The microscale damage model mechanistically includes the effect of particle heterogeneity, grain boundary sliding and its impediment at second-phase particles, diffusional relaxation, grain coarsening, constitutive softening (i.e., effect of progressive damage on constitutive properties), and plastic instability of cavitating grain boundaries.
The microstructural morphology, which needs to be modeled, is shown schematically in Figure 1 . An equiaxed Pb island is assumed to be surrounded by a polycrystalline Sn matrix. Some grain boundaries in the Sn matrix intersect with the Pb island. Grain boundaries in the tin matrix slide viscously at high temperatures and when impeded by second-phase Pb particles, generate high local stress concentrations at the particle-matrix interface. At high temperatures, creep mechanisms such as grain boundary diffusion, interfacial and volume diffusion, dislocation glide-climb, and void nucleation, tend to relax the high stress concentrations developed due to blocking of grain boundary sliding.
Microscale Stress History
The microscale stress concentrations are obtained using Eshelby's formalism of eigenstrains (Eshelby, 1957) . For simplicity of demonstration, the second-phase particle (Pb phase) is modeled as a spherical inhomogeneity (see Mura, 1987 , for detailed definitions of inclusions, inhomogeneities, and eigenstrains) situated at the end of the grain boundaries. The impinging grain boundary is modeled as a cuboidal inclusion with a prescribed shear eigenstrain (which is equal to the grain boundary sliding strain). The spherical inhomogeneity has a radius 'a' while the cuboidal inclusion has half-lengths a 1 , a 2 , and a 3 . The surrounding matrix is assumed to be isotropic and elastic. This geometric configuration is capable of modeling a wide variety of realistic microstructures. The local stresses at Point A are of primary interest because that is where the highest tensile mean stresses occur and drive void nucleation. The resulting stress field has contributions from: (i) blocking of the grain boundary sliding; and (ii) interactions with the second-phase particle. Thus Eshelby's formalism is an attractive mathematical model for these physical phenomena. As shown elsewhere (Sharma and Dasgupta, 2002a) : Figure 1 )
: e (x i ¼ A) indicates that these equations are solved in the region of the ellipsoid at Point A marked in Figure 1 . e Ã is nonuniform due to the interaction of grain boundary stress field and the inhomogeneity (Moshcovidis and Mura, 1975; Rodin, 1991) and are approximately solved in this study at Point A (Sharma, 2000; Sharma and Dasgupta, 2002a) . Mori et al. (1980) and Onaka et al. (1990) showed that when complete interfacial and long-range volume diffusion takes place, the stress state becomes uniformly hydrostatic and eventually relaxes to the applied stress (i.e., the perturbation due to the inhomogeneity vanishes). In the case of nonuniform stresses found in cuboidal inclusions (Chiu, 1977; Mura, 1987) , complete relaxation can occur when e R2 þ e gbs ! 0 at t ! 1. This discussion can be summarized as follows:
Strain evolution due to grain boundary sliding (assuming Newtonian viscosity) can be written as (e.g., Chan et al., 1986; Riedel, 1986; Tanaka and Iizuka, 1988) :
where, t gbs is the characteristic time for sliding, given as:
Here is an empirical constant and G is the shear modulus. The term " max is harder to determine however, its upper bound is clearly some fraction of the overall or average creep strain. The formulation in this article will be demonstrated on Sn-Pb eutectic solder. Experiments by Lee and Stone (1994) on solder show that the contribution of grain boundary sliding to the overall strain is nearly 0.25 in the entire range of strain rates within which grain boundary sliding does occur. Further, if far-field stress is held constant, in the long-term limit, the far-field creep strain will reach rupture strains. Thus, in this study, " max is chosen to be approximately one-fourth of the rupture strain for the given temperature and stress. Since rupture strain also follows a power-law/Arrhenius relationship with respect to temperature and stress, the sliding eigenstrain is given by:
Within the Pb inhomogeneity, relaxation is governed by the rate of volumetric diffusion. According to Onaka et al. (1990) , the volumetric relaxation eigenstrain can be represented as:
where t v is approximately (Onaka et al., 1990) :
The superscript h indicates the inhomogeneity. This approximate expression indicates that the volume diffusion in the Pb-islands is too slow to cause any difference. The relaxation mechanism within the cuboidal grain boundary due to diffusion also follows first-order kinetics (Mori et al., 1980) :
where t gbr (characteristic diffusional relaxation time) is (Sharma and Dasgupta, 2002a) :
(like ) is a local dimensionless geometrical factor, which can only be inferred indirectly from experiments. Note that, all the constants in this model can be obtained from monotonic creep and stress relaxation tests.
Void Nucleation
The microscale stresses, estimated in Equation (1), cause void nucleation. For the purposes of this study, a nucleation rate model, suggested by Giessen and Tvergaard (1990) , is modified appropriately:
Here, the stresses, strains, and strain rates are to be considered local to the nucleation sites. This nucleation model requires that local m (hydrostatic stress) be positive for nucleation to occur.
Void Growth
Void growth occurs by three mechanisms: grain boundary diffusion (e.g., Hull and Rimmer, 1959; Rice, 1980) , power law creep (Budiansky et al., 1982; Tvergaard, 1984) , and grain boundary sliding (Sharma, 2000) . These rates are:
The stresses and strain rates are to be considered local to the grain boundary facet, though remote from the cavity (Onck, 1998) .
Void Interlinkage
Voids grow and interlink, leading eventually to a macroscale crack. A rigorous mechanistic failure criterion can be established based on the theory of cavitation instability, grain coarsening, progressive degradation of yield strength due to grain coarsening, porosity, and hydrostatic stresses. Details are not presented here as they are quite complicated and the reader is referred to Sharma (2000) for derivations. The input to the void interlinkage models are simply the temperature-and grain size-dependent yield stress, the microstresses, current volume fraction of voids, and the average void spacing (deduced from void nucleation rate and void growth rate).
Cyclic Softening and Grain Coarsening
As the void fraction continues to increase by creep cavitation, the material continues to soften. The Mori-Tanaka (1971) method for estimating average stress in the matrix and in inclusions can be used for computing the change in tangent elastic properties due to void fraction f :
For effective creep properties, the Mori-Tanaka method can be extended to nonlinear composites by using the method of Lin (1994) :
Grain coarsening affects microstresses, nucleation, void growth, and void linkage and thus must be taken into account explicitly (Upadhyayula, 1999) :
In this study, this coarsening law is used incrementally as the temperatures and stress values are continuously changing.
Creep Fatigue Damage Model
The microstructural elements described in Equations (1)- (16) can be combined to form a creep-fatigue damage model. The void radius fraction can be represented by:
As before, R is the void radius while is the intervoid half-spacing. The evolution of 'R' occurs as per void growth Equations (10)- (13). The evolution of is seen as linked to the nucleation rate. The main effect of continuous nucleation of voids (at a finite rate) is to decrease the average intervoid spacing (Onck, 1998) :
where the subscript 'o' indicates initial values. Damage is defined as the ratio of the void radius fraction to critical void radius fraction required for cavitation instability:
is estimated based on plastic instability theory, as discussed above in the Section titled ''Void Interlinkage''. The grain size and temperature (which affect yield strength) strongly influence the determination of critical void radius fraction (Sharma and Dasgupta, 2002a) . D ¼ 1 indicates complete failure. Under compression, where the critical void radius fraction is 1, D is identical to f r .
This micromechanics-based cyclic creep-fatigue model is implemented in an incremental-iterative manner. The boundary conditions for the microscale stress analysis of Section 2.1 are obtained from a global macroscale stress analysis, which is carried out for a given temperature history using any conventional analytical or numerical nonlinear viscoplastic technique. As the material becomes damaged, the macroscale stress-state also changes due to changes in the constitutive properties. As voids grow and interact, the stress field in the tin matrix gets perturbed and alters significantly. These stresses are not appreciably different during the early stages of damage when the void volume fraction is small, however, they contribute significantly at larger void volume fractions (>0.15). In fact, stress disturbances due to the growing voids are primarily responsible for the acceleration of damage towards the end of the material's life. Evolution of R and (and hence the damage D), is tracked throughout the loading history. Based on the current grain size (Equation (16)), yield stress is updated using the Hall-Petch relation and the elastic and creep modulus are updated based on the state of damage. Based on these parameters, the failure surface f crit is also updated. Failure is assumed to occur when the void fraction f reaches the failure locus f crit (i.e., when D ¼ 1).
In the following section, sample results of this model are presented, to compare the failure predictions of this microstructural model with predictions based on two commonly used macroscale damage parameters: inelastic cyclic strain range and cyclic work dissipation. Finally, a new phenomenological model is proposed based on the microstructural insights.
RESULTS OF MICROSTRUCTURAL CYCLIC CREEP MODEL
Microstructural failure prediction is based on viscoplastic simulation of all the cycles until failure. The macroscale viscoplastic stress analysis can be computationally too expensive for a complex structure, such as a solder interconnect. Thus, for purposes of illustration in this study, we select a simple structure where the macroscale stresses are uniform and the global analysis can be accomplished semianalytically. The microstructural model is implemented for this idealized structure. Details of the idealized example structure and a sample thermal cycle are given in the Appendix. Figure 2 shows the growth in void fraction for a typical thermal cycle. Figure 3 shows the decay in the cyclic hysteresis due to softening caused by damage accumulation. Figure 4 shows the corresponding growth in void fraction, decay in failure surface, and ultimate failure due to plastic collapse when the void fraction reaches the critical value. Thus the durability of this structure is obtained for the selected cyclic thermal loading, in terms of cycles to failure. The next step is to use this microstructural failure prediction to investigate the appropriateness of using traditional phenomenological power-law fatigue models based on macroscale damage parameters, such as the nominal cyclic creep work dissipation and cyclic strain range. Since it is computationally infeasible in a realistic complex structure to simulate all the cycles to failure, it is common practice to use the 'nominal' value of the macroscale parameters obtained from the initial cycle. In this study, the third cycle is used, as it takes a few cycles to obtain a stable hysteresis loop due to creep and ratchetting. For purposes of comparison, the failure predicted by the microstructural model is plotted against the creep work density and cyclic strain range obtained from the third cycle. The process is repeated for different temperature ranges and ramp rates. Care is taken to ensure that the hydrostatic stress is similar in all cases (to better isolate the relationship between creep work density and cycles-to-failure). The result is shown in Figure 5 . To explore if the results are loading-dependent, isothermal stress-controlled cycling is also simulated (at 25 and 70 C) and plotted in Figure 6 .
As seen from Figure 5 , cycles-to-failure is related to nominal creep work density with a fatigue exponent approximately equal to À1 (i.e., N f ¼ AW À1 c ). The small scatter seen at the low-cycle end of the thermal cycling results is due to plotting of several ramp-rate and dwell-time results on the same graph. This scatter suggests that macroscale nominal cyclic creep work density does not capture all the effects that ramp rate and dwell time have on damage accumulation rate (as predicted by the microscale model). It is interesting to note that the exponent is À1 also for slow isothermal mechanical stress cycling. The fact that this slope is not strongly dependent on the type of loading suggests that this model constant can be treated as an intrinsic material property when making phenomenological failure predictions. In Figure 6 , when the nominal cyclic strain range is used, the fatigue exponent changes from À1 for isothermal mechanical stress cycling to approximately À0.7 for thermal cycling. Since this model constant changes with the type of loading, it cannot be considered to be an intrinsic material property. Thus, cyclic creep damage is more consistently correlated to the nominal cyclic creep work dissipation than to nominal cyclic strain range, across different types of loading. A macroscale phenomenological model, based on cyclic creep work dissipation, was proposed by Darbha et al. (2000) :
Here, cycles to failure is the reciprocal of the damage D. The fatigue exponent for W c is À1 in Equation (20), in accordance with the value predicted by the microstructural model in Figure 5 . All the model constants are treated as material properties. The experimentally measured values of the fatigue exponent, which are reported in the literature, have too much scatter, depending on loading conditions and specimen type. Thus it is difficult to see a direct correlation with the predicted values. For example, researchers report the cyclic creepwork fatigue exponent to range from À1 to À1.22 for thermal cycling (Dasgupta et al., 1992; Akay et al., 1997; Jung et al., 1997; Gustafsson, 1998) and from À0.55 to À1.0 for isothermal mechanical strain cycling Tolksdorf, 1995 & Shi et al., 1999; Haswell, 2001) . The corresponding cyclic strain-range fatigue exponent ranges from -0.6 to -1.08 for thermal cycling (Engelmaier, 1983; Sherry and Hall, 1986; Shine et al., 1984) and from À0.55 to À0.7 for isothermal mechanical strain-cycling (Solomon, 1986; Shi et al., 2000; Haswell, 2001 ). The strain rates in the mechanical cycling experiments were high enough that the cyclic work and strain-range may have included some plastic contributions in addition to the creep contributions. This adds further complication when comparing test results with model predictions.
PHYSICALLY MOTIVATED MACROSCALE CYCLIC CREEP DAMAGE MODEL -PRELIMINARY EXPLORATION
While the microstructural model shows reasonable correlation to creep-work dissipation, a better macroscale model is proposed here in Equation (21), based on the mechanics embedded in the microstructural model.
Here, d ref is a reference grain size. The differences between the proposed model and the energy-partitioning model in Equation (20) are clear. First, the proposed model (henceforth referred to as the energy-rate model or simply the rate model) is explicitly dependent on the loading history (and must be implemented incrementally in time). This model captures the time dependence in the microscale damage model, which the energy-partitioning damage model does not do. Second, this model relies on the triaxiality ratio rather than on the value of the hydrostatic stress, as per insights from the microscale damage model developed by other researchers (e.g., Budiansky et al., 1981) and the present microstructural model (Sharma, 2000) . Since, this form is derived from a mechanistic model, we know that the exponent (n T ) is equal to the creep exponent (n c ) for high triaxialities and 1 for low triaxialities. No empirical fitting is necessary any more as was required for q in the energy partitioning model. The linear grain size dependency stems from the fact that creep work at the microscale seems to depend linearly on the grain size (Sharma, 2000) . The model constant K 1 was determined by calibrating the proposed rate model to the results of simple bimetallic structure presented in the Appendix. To test the new model, a case for which experimental results were already available was chosen. Okura (2000) ran detailed experiments on flip chip without underfill. The rate model has to be integrated incrementally along the thermal profile. Special subroutines were written and incorporated in a commercial finite element software (ABAQUS) to implement the rate model. The finite element model built by Okura (2000) was used (Figure 7 ).
The final results of the proposed damage model are compared with the experimental results and the energy-partitioning damage predictions in Figure 8 . As can be seen the results are within a scatter band of 1.5. It should be kept in mind that in the proposed damage model no empirical fit was made and all constants were obtained from theoretical (mechanistic) considerations while the energy-partitioning model damage constants were empirically fit. Thus, the proposed model was used in a truly predictive fashion. Furthermore, the proposed model incorporates the physics of the failure process (grain size effect, hydrostatic stress effect, etc.) in a mechanistic manner and reasonably mimics the trends of the micromechanics model (i.e., the effect of various parameters like ramp rate, dwell time, grain size, etc.) presented elsewhere (Sharma and Dasgupta, 2002a) .
CONCLUSIONS
A mechanistic failure model is proposed based on the microstructural phenomena during cyclic creep loading of the solder joints. The microscale model indicates that when formulating macroscale phenomenological failure models, cyclic creep work dissipation is a more consistent damage metric than cyclic strain range. Based on this insight and others obtained from the microscale damage model, a new energy-rate fatigue model is proposed. The model constants of the new cyclic fatigue model are obtained from theoretical considerations and from monotonic creep tests for this material system. When applied to a real solder interconnect (flip chip without underfill), the model agreed with the experimental results within a scatter band of 2. The new model correctly includes the hydrostatic stresses (triaxiality ratio) and is also sensitive to grain size. The proposed model is simple to use and possesses some qualitative features that are rigorously based on mechanistic conclusions, however, more experiments are needed to further validate the model and determine the precise model constants.
APPENDIX
To illustrate the microscale cyclic creep damage model, based on microscale mechanics, a simple but representative case was chosen (Sharma, 2000; Sharma and Dasgupta, 2002a,b) . The configuration, as shown in Figure consists of a thin layer of solder on a very thick substrate. The substrate is assigned a higher coefficient of thermal expansion (CTE) than solder and thus during a thermal cycle tensile axial stresses will develop in solder during heating and compressive stresses during cooling due to thermal expansion mismatch. The resulting stresses are assumed to be uniformly distributed. In reality, void linkage will occur at different points at different times leading to evolution of a crack. Such an analysis requires the use of an advanced numerical tool like the finite element method. For now, since stresses are assumed to be distributed uniformly, we employ the concept of statistical homogeneity to analyze only a unit cell with a given grain configuration. The grain boundary or the unit cell is assumed to be oriented at an angle of 45 with respect to the direction of uniaxial macrostress. Once failure or void interlinkage occurs in this unit cell, a grain-sized crack is formed. Since the damage is assumed to be uniform, failure in our entire structure will occur at nearly the same time as failure of the unit cell. The 'nominal' loading profile is defined as follows (Table 1 ). The nominal case has a triaxiality ratio of nearly 0 (actually, it has triaxiality ratio of þ0.333 during heating and À0.333 during cooling but since the time spent in the compressive and tensile regimes is not too different we can assume an average triaxiality ratio of 0). The effect of hydrostatic stresses will be studied by imposing an external hydrostatic stress (which will not affect the macroscale stress analysis, as the creep constitutive laws are entirely based on equivalent stress).
For this simplified and idealized structure the global stresses can be found by solving the following differential equation:
Á represents the difference in the CTE of the substrate and solder. ÁH is the activation energy for creep, k is Boltzmann's constant while is the axial stress developed in solder. 
